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ABSTRACT

The successful and economic conversion of waste heat into electricity requires new, innovative, power
cycles to be developed. The proposed wet-to-dry cycle, in which the working fluid transitions across the
saturation dome during expansion, has been shown to offer significant thermodynamic benefits. How-
ever, the feasibility of achieving wet-to-dry expansion when non-equilibrium effects, which are expected
during a high-speed two-phase expansion, are taken into account has not been previously established.
This paper first introduces a simple method to assess the thermodynamic potential of a fluid for the
wet-to-dry cycle, which confirms that the siloxanes MM and MDM are excellent contenders and under
ideal conditions can achieve second law efficiencies approaching 90% whilst operating with heat-source
temperatures around 200 °C. The second part of this paper presents a one-dimensional nozzle design
tool that accounts for thermal and mechanical non-equilibrium effects, which has been verified against
previous studies and non-equilibrium computational-fluid dynamic simulations of the two-phase expan-
sion of the refrigerant R1233zd(E). The model is then applied to the wet-to-dry expansion of MM under
operating conditions directly relevant for the wet-to-dry cycle. The results firstly indicate the importance
of accounting for non-equilibrium effects when designing nozzles for wet-to-dry expansion and the im-
portance of having a realistic model that accounts for the break-up of droplets during the expansion.
More importantly, the results reveal that for eight of the twelve cases considered it is still possible to
achieve the full vapourisation of the working fluid within the nozzle when non-equilibrium effects are
considered. This confirms the potential of the wet-to-dry cycle to enhance the performance of waste-heat
recovery systems, which, in turn, necessitates further investigation, including experimental investigation,
to further explore the concept.

© 2022 The Author(s). Published by Elsevier Ltd.
This is an open access article under the CC BY license (http://creativecommons.org/licenses/by/4.0/)

1. Introduction

The continued reliance of

industrial

Whilst these technologies encompass technologies for direct heat
recovery, alongside technologies such as heat pumps or chillers,

processes on non- the ability to generate electricity remains one of the most signif-

renewable fuel sources to operate, and the subsequent rejection
of heat to the environment, represents a significant environmen-
tal concern. Although it is extremely difficult to quantify the exact
amount of waste heat available, it has been estimated that 54 PWh
of heat below 300 °C is available per year globally [1], whilst 300
TWh is available per year in the EU at temperature levels below
200 °C (33%), between 200 and 500 °C (25%) and above 500 °C
(42%) [2]. As such, it is widely acknowledged that waste-heat re-
covery technologies are required to capture and convert that heat
into other useful forms, as evidenced by the growing funding ini-
tiatives, such as those at the European [3]| and national levels [4].
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icant opportunities and commercial power systems based on the
organic Rankine cycle (ORC) are available on the market [5], typ-
ically for heat-source temperatures below a few hundred degrees
Celsius, whilst supercritical CO, systems being widely seen as a
promising candidate for higher temperatures [6]. However, despite
advances, these systems are not yet widely implemented, mainly
due to high costs. As such, there remains a need for innovative
systems with enhanced performance.

From a theoretical perspective, particularly for relatively low
temperature waste-heat sources that can be cooled down to close
to ambient conditions, the ideal thermodynamic cycle is the tri-
lateral flash cycle [7,8], which initiates expansion from a saturated
liquid state. However, the realisation of this cycle poses some dif-
ficulties, particularly around the need for expansion machines that
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Nomenclature

Symbols

o volume fraction

B wet-to-dry feasibility parameter
AT, heat exchanger pinch point, K

m mass-flow rate, kg/s

74 power, J/s

i second law efficiency

Ks) heat-transfer coefficient, W/(m? K)
Nu Nusselt number

Oh Ohnesorge number

Pr Prandtl number

Re Reynolds number

We Weber number

nw dynamic viscosity, Pa s

0 density, kg/m?3

o surface tension, N/m; molecular complexity
om, 0}, 0g, 0q interfacial exchange terms

A area, m?

a speed of sound, m/s

b passage height, m

Cp drag coefficient

Cp specific-heat capacity at constant pressure,

JI(kg K)
D droplet diameter, m
F interfacial force, m
h specific enthalpy, J/kg
k thermal conductivity, W/(m K)
L axial length, m
Np droplet numer, m—3

0 throat width, m

p pressure, Pa

q vapour quality

R specific gas constant, J/(kg K); degree of re-
action

S specific entropy, J/(kg K)

T temperature, K

U overall heat-transfer coefficient, W/(m? K)

u velocity, m/s

Vi volumetric isentropic expansion ratio

X nozzle position, m

Subscripts

* throat conditions

0 stagnation conditions

cr critical point

ex exchanged phase

h heat source

L liquid

max maximum

P pump

sat saturated conditions

spn spinodal

th throat

ts total-to-static

\Y vapour

Abbreviation
ORC organic Rankine cycle

can tolerate two-phase conditions, which typically rules out turbo-
machinery. Notably then, most work in the past decades has con-
sidered volumetric expansion machines [9-11]; albeit with their
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limitations of relatively low efficiencies and low built-in volumetric
expansion ratios which may limit their application range.

Whilst the traditional consensus is to neglect turbomachinery
for two-phase expansion, based on the premise that any droplets
present within the rotor will cause erosion, it has been hypothe-
sised that modifications to the cycle could make the use of turbo-
machinery possible. One such option, named here as the wet-to-
dry cycle, relies on molecularly complex working fluids that allow
a two-phase expansion process to transition across the saturation
dome and end in the superheated vapour region. This idea was
originally explored by Elliott [12,13] who investigated the wet-to-
dry expansion of toluene, although despite promising results, the
concept does seem to have been taken further. More recently this
idea has gained a little more traction, which could partly be driven
by the need to identify more innovative waste-heat recovery tech-
nologies, but also the fact that molecularly complex working fluids,
such as siloxanes [14-16] and Novec 649 [17,18], are being more
widely considered for ORC systems. These recent investigations in-
clude those by the current author focussing on cycle optimisation
and preliminary turbine design for the wet-to-dry cycle [19] and
also investigating the performance of existing single-phase ORC
turbines under two-phase inlet conditions [20], and others such as
Sampedro and Védie [21] who investigated wet-to-dry cycles as a
topping cycle for high-temperature waste-heat recovery. The cycle
optimisation studies confirm the thermodynamic potential of the
cycle, whilst the turbine design and numerical simulations, which
were conducted under the assumption that the liquid and vapour
phases remain at thermal and mechanical equilibrium (i.e., homo-
geneous thermal equilibrium), give some indication that a wet-to-
dry expansion can be achieved within the stator.

However, during the high-speed two-phase expansion process
that is expected within a turbine intended for wet-to-dry expan-
sion it is not clear to what extent non-equilibrium effects play. For
example, when moving to a non-equilibrium simulation the drag
forces that act on the liquid droplets will result in slip, whilst the
thermal resistance on both sides of the liquid-vapour interphase
will ultimately reduce the rate of mass and energy exchange be-
tween the liquid and vapour. This will move the wet-to-dry transi-
tion further downstream than predicted by the homogeneous ther-
mal equilibrium model, but the extent to which this occurs is un-
known. Previously, non-equilibrium models have been widely ap-
plied to the simulation of problems such as steam flashing flows
[22,23], and condensation in steam turbine stages [24]. More re-
cently, there has also been a growing number of studies concern-
ing two-phase effects in supercritical CO, compressors [25,26] and
also ejectors within refrigeration systems [27,28]. However, to date,
and to the author’s knowledge, there have not been any detailed
investigations into the feasibility of the wet-to-dry expansion cycle
considering realistic two-phase expansions where non-equilibrium
effects are accounted for. Moreover, there have yet to be any clear
guidelines on selecting fluids for the wet-to-dry cycle. With this
in mind, this paper aims to achieve three things, namely: (i) to
propose some simple methods to assess the feasibility of the wet-
to-dry cycle and identify suitable working fluids; (ii) to develop a
quasi-1D model that can be used to design wet-to-dry expansion
nozzles accounting for non-equilibrium effects; and (iii) to use this
model to assess whether wet-to-dry expansion processes can be
achieved using working fluids and cycle conditions that are of di-
rect relevance to the wet-to-dry cycle.

2. Fluid and thermodynamic cycle aspects
2.1. Wet-to-dry feasibility parameter

Fluid selection is an important aspect within the design of any
ORC system, and the proposed wet-to-dry cycle is no different. In
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Fig. 1. Calculation of the wet-to-dry feasibility parameter § for four organic fluids. The shaded region represents conditions that allow an isentropic expansion from two-
phase conditions to a saturated or superheated vapour. Results are based on a condensation temperature of 40 °C; o refers to the molecular complexity.

fact, within this cycle fluid selection is even more restricted since
only fluids with a saturated vapour line with a positive gradient
when viewed in the temperature-entropy (T — s) plane, typically
referred to as ‘dry’ fluids, are applicable.

To assess the suitability of a particular fluid for wet-to-dry ex-
pansion a new fluid parameter, 8, is introduced, which is hereto
referred to as the wet-to-dry feasibility parameter. This parameter is
a non-dimensional parameter that determines the extent to which
a particular fluid is suitable for wet-to-dry expansion. In this con-
text, a feasible operating point is considered to be one in which
expansion from a two-phase inlet condition, to a defined static
pressure, results in saturated or superheated vapour at end of that
expansion process. Such an expansion process could, at least at a
theoretical level, be realised within a wet-to-dry ORC system. The
wet-to-dry feasibility parameter essentially denotes the fraction of
two-phase inlet conditions that allow an isentropic expansion to
saturated or superheated vapour. If § — 0 for a particular fluid,
there is no two-phase inlet condition that can generate saturated
or superheated vapour following an isentropic expansion and that
fluid cannot be considered for the wet-to-dry cycle. Likewise, if
B — 1, then almost every two-phase inlet condition can result in
saturated or superheated vapour following an isentropic expansion
and that fluid is an excellent candidate for the wet-to-dry cycle.
The wet-to-dry feasibility parameter is best understood by consid-
ering Fig. 1. For a defined ORC condensation temperature, denoted
by the line a-d, it can be observed that any two-phase inlet condi-
tion to the right of the isentrope denoted b-d will permit an isen-
tropic expansion that ends with either saturated or superheated
vapour conditions, whilst an expansion from any condition to the
left will remain within the saturation dome. Thus, 8 can be de-
fined as the ratio of the shaded-grey area (b-c-d-b), to the area
contained by the points a-b-c-d-a. Expressed mathematically, it
can be defined as:

_ fssbc Tsat (Ssat) dSsar — fssdC Tsar (Ssat) dSsat )

B fssac Tsat (Ssat) dSsar — f:dc Tsat (Ssat) dssat’

B

where ssa¢ and Tgy¢ denote the saturation temperature and entropy
respectively. The conditions at points a, b and d can be readily ob-
tained for a specified condensation temperature, whilst the point
¢ corresponds to the point at which the saturated vapour entropy
is at a maximum. Equation (1) is computed numerically after hav-
ing first constructed a single array of ss;r and Ty values that com-
bines both the saturated liquid and saturated vapour entropies and
passes in order through the points a, b, c and d.

The wet-to-dry feasibility parameter for four working fluids is
presented in Fig. 1. These four fluids include two siloxanes and
two alkanes and have been selected to demonstrate how S is re-
lated to the shape of the saturation dome. Clearly, MDM and MM
are promising candidates for the wet-to-dry cycle with values of 8
of 0.57 and 0.48 respectively, whilst the alkanes allow wet-to-dry
expansion for only a limited range of operating conditions.

It is worth noting that working fluids are often categorised by
the slope of their saturation curve, as demonstrated by Chen et al.
[29]. One parameter proposed for this classification is the one in-
troduced by Invernizzi et al. [30], and later used by others [31],
which is referred to as the parameter of molecular complexity, o,
which is defined as:

B Tcr <as)
oT sy, T,=0.7

R
where T is the critical temperature, R is the specific gas constant,
sy is the saturated vapour entropy and T; is the reduced tempera-
ture defined as T/T. This parameter is related to the reciprocal of
the gradient of the saturated vapour line in the T — s plane. Since
working fluids with increasing molecular complexity have a satura-
tion curve with an increasingly large overhang when viewed in the
T — s plane, an increase in molecular complexity leads to a reduc-
tion in the slope of the saturated vapour line, and thus its recipro-
cal (i.e., 9s/0T) increases, leading to an increase in o. Thus, since
increasing values of o are consistent with an increase in molecu-
lar complexity and an increase in the overhang of the saturation
dome, it is apparent that o and 8 are closely related and fluids

(2)
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Fig. 2. Relationship between molecular complexity o and the wet-to-dry feasibility
parameter § for a range of common organic fluids. Results are based on a conden-
sation temperature of 40 °C.

with a high molecular complexity will have a high value for g. This
is confirmed by the values of o reported in Fig. 1, whilst the rela-
tionship between o and g is explored for a wider range of fluids in
Fig. 2. Ultimately, the relationship between o and S confirms that
fluids with the highest molecular complexity are likely to be the
most promising fluids for wet-to-dry expansion. Moreover, silox-
anes are promising candidates for the wet-to-dry cycle, which fur-
ther supports previous thermodynamic cycle optimisation results
that have identified MM and MDM as two of the most promising
fluids for this type of system [19].

As a final point, it is worth noting that given the relationship
between o and S it could be argued that the assessment of the
suitability of a particular fluid for the wet-to-dry cycle could be
completed purely based on an assessment of o. However, the in-
troduction of B is considered preferential for the following rea-
sons: (i) firstly, it is a direct measure of the feasibility of two-phase
expansion whilst o was never intended for the purpose; and (ii)
since § is dependent on the assumed ORC condensation tempera-
ture its use allows a slightly more detailed comparison of working
fluids for a specific application.

2.2. A simple second-law assessment

Alongside selecting the right fluid, it is also important to estab-
lish the operating conditions that are the most interesting for the
wet-to-dry cycle, and thus identify expansion processes of practical
relevance. To this end, a simple thermodynamic model has been
developed that is able to identify the optimal heat-source temper-
atures to which the wet-to-dry cycle could be applied and estab-
lish its theoretical potential from a second-law perspective. The
required inputs are the working fluid, the minimum cycle tem-
perature T;,, the turbine inlet conditions, defined in terms of a
total pressure pg and vapour quality ¢g, and an assumed heat-
exchanger pinch point temperature difference AT,. Since the aim
of the model is to establish the theoretical potential of the cy-
cle, compression and expansion processes are assumed to be isen-
tropic. Thus, based on the specified inputs, the conditions at tur-
bine inlet, turbine outlet, pump inlet and pump outlet, denoted 0,
1, 2 and 3 respectively, are readily determined.

It is well established that the best thermodynamic performance
in waste-heat recovery applications is obtained when the heat-
source is cooled down as much as possible and a close temper-
ature match between the waste-heat source and working fluid is
obtained in the heater, and it is in applications such as this where
the largest benefits of two-phase expansion can expected. There-
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Fig. 3. A schematic of the simple wet-to-dry cycle model.

fore, for this simple assessment it is assumed that the tempera-
ture difference within the preheater remains approximately con-
stant, and this is equal to ATp. Thus, an energy balance applied to
the preheating section yields:

m . (T + ATp) —(Tlz + ATP) o I3 —T
(mcp)p hs — hs hy —h3’

where m and (mcp), are the working fluid mass-flow rate and
heat-source heat capacity rate respectively, T and h correspond to
temperature and specific enthalpy respectively, and the subscript
3’ refers to the saturated liquid state at the end of the preheater.

The corresponding heat-source inlet temperature T;, follows
from an additional energy balance applied to the partial evapora-
tion process:

(3)

Th = T3r —|— ATp + (ho - h3’), (4)

m
(mcp)n
whilst the power output from the cycle, expressed per unit of heat-
source heat capacity rate, follows from:

W m
= (o — hy) — (s — )], (5)
(e — (mcy)y :

Then, taking the minimum cycle temperature as the dead-state, the
maximum available power, also referred to as the exergy of the
heat source, is given as:

Wmax Th )

- = -5L)-TIn(=), 6
(mcp)h (Ty 2) 2 H(T2 (6)
and the second-law efficiency of the cycle can be stated as:

1%
n][ = = (7)
WITlElX

A schematic of this model is provided in Fig. 3, in which the
wet-to-dry cycle is shown by the cyan-shaded region and the red
line indicates the heat-source temperature profile. The shaded grey
area indicates the irreversibility within the system.

Using this model, the performance of the wet-to-dry cycle can
be investigated for different working fluids, and for different tur-
bine inlet conditions. To demonstrate this, the model has been ap-
plied to the full range of turbine inlet conditions that allow a fea-
sible wet-to-dry expansion using the siloxane MM, as shown by
the shaded area in the top-right plot of Fig. 1. The results from
the analysis are presented in Fig. 4 in which the top-left and top-
right plots correspond to the optimal heat-source temperature and
second-law efficiency respectively, whilst the bottom-left plot re-
ports the volumetric expansion ratio of the isentropic expansion
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top-right: second-law efficiency ny; bottom-left: isentropic expansion volumetric ratio V;; and bottom-right: critical vapour quality q¢* under homogeneous equilibrium
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Fig. 5. Results from the cycle analysis of the wet-to-dry cycle operating with MM for different inlet vapour qualities and inlet pressures. The pressure levels correspond to

4.78, 10.12 and 15.45 bar.

(i.e., po/p1)- The bottom-right plot reports the critical vapour qual-
ity g*, which is obtained under the assumption of homogeneous
equilibrium between the two phases and is helpful to understand
whether the conditions downstream of nozzle throat are expected
to be single- or two-phase. The same results are also reported as
a function of inlet vapour quality and inlet pressure in Fig. 5 to
aid interpretation, where pg mi, is the minimum pressure at which
a full wet-to-dry transition can occur and corresponds to an inlet
pressure of 4.78 bar.

From the results, the first observation is that for a given pres-
sure, expanding from the lowest inlet vapour quality will lead to
the highest second-law efficiency. Moreover, the best performance
point corresponds to expansion from the minimum pressure, de-
fined by po(qo, St = Svl,=T,,,)- At this point, a very close match
between the working fluid and the heat source is obtained, leading

to a cycle that is very close to an ideal cycle with a very high sec-
ond law efficiency. Subsequently, it can be said that for operation
with MM there is a single heat-source temperature at which this
high second law efficiency can be obtained, and this corresponds
to around T;, ~ 180 °C. Increasing the pressure from the minimum
pressure of 4.78 bar, to 10.12 and 15.45 bar causes a reduction in
second law efficiency from around 90% to around 87% and 83% re-
spectively, but subsequently allows the cycle to match heat-source
temperatures of around 220 and 240 °C respectively. The down-
side of these highly efficient cycles is the significant increase in
the isentropic expansion volumetric ratio, which approach values
in excess of 500 for expansion from saturated liquid and could
have consequences on the turbine design and operation. However,
it is observed that a small increase in the vapour quality can cause
a significant reduction in the isentropic expansion volumetric ra-
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tio. Thus, for a practical system the optimal inlet vapour quality
will be trade-off between maximising the performance of the cy-
cle, and ensuring a practical turbine design can be realised.

In summary, the model presented provides a useful way to as-
sess the potential of the wet-to-dry cycle, whilst the results re-
ported in Figs. 4 and 5 confirm the potential of the cycle when
operating with MM. The analysis was also repeated with MDM,
which has a higher critical temperature and a higher value for g
due a higher degree of molecular complexity. As a result, the op-
timal operating conditions (i.e., po = Pg min,» o = 0) correspond to
a slightly lower heat-source temperature of T;, ~ 170 °C, whilst the
efficiency is comparable to the maximum efficiency obtained fro
MM. However, it is worth noting that the corresponding inlet pres-
sure is around 1.12 bar, whilst the required isentropic expansion
volumetric ratios are almost an order of magnitude higher for ex-
pansion from saturated liquid, which rules this operating point for
practical reasons. Overall, it is found that MDM only outperforms
MM at heat-source temperatures above 265 °C, with second-law
efficiencies of 75% and below as the heat-source temperature in-
creases. Thus, when considering fluid and cycle perspectives at a
fundamental level, the siloxane MM appears to be a strong candi-
date for the wet-to-dry cycle, which confirms findings from pre-
liminary cycle simulations [19].

3. Non-equilibrium nozzle design model
3.1. Pressure profile

The nozzle design model constructs the required planar nozzle
geometry for the expansion of a fluid from a defined two-phase
inlet condition, defined with a stagnation inlet pressure py, vapour
quality qg, and initial velocity, ug, to a specified outlet pressure
Pout With a defined mass-flow rate, m. The nozzle is sized accord-
ing to input values for the passage width to throat ratio, b/oy,
and the length to throat ratio, L/oy,. Since the throat size will
vary depending on the extent to which non-equilibrium effects are
present, the initial sizing (i.e., determination of b and L) is con-
ducted based on the required throat width under the assumption
of homogeneous thermal equilibrium between the phases which
can be easily calculated (i.e., Ay, = boy, = m/(p*a*), where p* and
a* are the critical density and speed of sound of the homogeneous
mixture). Thus, when designing nozzles for a given application, and
where non-equilibrium effects may influence by a varying degree,
the length and passage width will be the same, although there may
be slight variations in the eventual throat width.

The model is based on an inverse design approach, in which the
nozzle static pressure distribution is prescribed as a model input.
The nozzle inlet pressure, p;,, is determined from the specified in-
let conditions (i.e., pg, go and ug) and the assumption that liquid
and vapour phases are at thermal and mechanical equilibrium at
the nozzle inlet, whilst poy: is a model input. The nozzle profile
is then constructed using a Bezier curve with three control points,
as shown in Fig. 6. It is assumed that (dp/dx)|y—o = (dp/dx) |y =
0, which requires p(xs) = pj, and p(xc) = pour, Whilst p(xg) =
0.5(pin + Pout)- Thus, the pressure distribution can be varied by ad-
justing the non-dimensional x-coordinates (i.e., x/L) of points A, B,
and C.

3.2. Governing equations

The nozzle design model is based on the Eulerian-Eulerian ap-
proach for two-phase flows, with the assumption that the two-
phase mixture is composed of dispersed liquid droplets suspended
in the continuous vapour phase. For a given set of inputs, the
model solves a separate set of governing equations for both the
liquid and vapour phases. For quasi one-dimensional steady-state
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p [bar]

z/L

Fig. 6. Example static pressure distributions generated using a three control point
Bezier curve.

flow through a duct with a varying area the governing equa-
tions for phase i can be expressed as [32]:

1 9(apAu);

a X =O0M,i; (8)
1 B(a,oAuz)i ap
[36X]ET + a,‘a = U]_i ; (9)
2
. d <oszu(h + uz))
[Bexl T t=oc, (10)

where o, p, h, p and u correspond to the volume fraction, density,
specific enthalpy, pressure and velocity of phase i respectively, A is
the channel area and oy, oj and o correspond to the amount of
mass, momentum and energy exchanged between the two phases.

The mass exchange term is determined by applying an energy
balance to the liquid-vapour interphase [32,33]:

_ 1A (Tsae — T) + 9HvA; (Tsae — Ty)

hy (11)

oML = —Omy

where $; and $y are the heat-transfer coefficients on the liquid
and vapour sides of the interface, A; is the interfacial area, Ty is
the saturation temperature and hy, is the latent heat of vapouri-
sation. The momentum and energy exchanges are likewise defined
[32]:

—
0 = F i+ opmillex (12)
ug

[36)(]0’5,,' =0y, + O'M,i<hex + 2), (13)

where ?,- is the interfacial force, uex and hex are the velocity and
enthalpy of the exchanged phase and:

o1 =—0qv =UA(Ty - Tp), (14)

where U is the overall heat-transfer coefficient (i.e., 1/U = 1/$ +
1/$y). The interfacial force is determined from:

— —
Fr=—Fy=ACpv|uy —ur|(uy —up), (15)

where Cp is the drag coefficient.
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3.3. Interfacial and droplet modelling

Within the nozzle design model the interfacial terms can be de-
fined using any existing empirical correlation to determine the in-
terfacial heat-transfer coefficients and drag coefficient. Within the
current work the Ranz-Marshall correlation [34] is used to model
the heat-transfer coefficient on the vapour side of the vapour-
liquid interphase:

D
Nuy = 5’% =2+ 0.6Re}/2Pr'3, (16)
v
where D is the droplet diameter, ky, is the thermal conductivity of
the vapour, Pr is the Prandtl number of the vapour (i.e., (cpu/k)y),
and Rep is the Reynolds number:
uy —ur|D
Rep = M (17)
1237
where py is the viscosity of the vapour. The model is also setup
to allow a specified value for Nuy, or the zero resistance case in
which $y — oo and Ty — Tsa. Likewise, on the liquid side a con-
stant Nusselt number, or zero resistance (i.e., T, — Tsat), can be ap-
plied, although as an initial assumption it is assumed that [33]:
D
Ny = 2P 6. (18)
ki
The drag coefficient is determined based on the Schiller-Naumann
correlation [35]:

24 if Rep < 0.1

Rep’

C =
"7 | max[0.44, () (1+0.15R¢}*)]

. (19)
otherwise.

Referring to Eqs. (16)-(19) it is apparent that the mass, momen-
tum and energy exchange is dependent on the size, or more specif-
ically the diameter, of the liquid droplets. Therefore, the droplet
diameter can be considered an important parameter and to obtain
accurate predictions a realistic value for D is required. However,
given the novelty of the current application and the lack of suit-
able experimental data it is difficult to select a suitable value for
D. Therefore the approach adopted within this study is to consider
different methods for predicting the droplet diameter, and to run a
series of parametric study in which the influence of these models
results can be examined.

Within the model, three different approaches have been con-
sidered, which correspond to: (i) a fixed droplet diameter; (ii) a
fixed droplet number; and (iii) a critical Weber number. In ap-
proach one, the diameter of the droplets is assumed to be constant
throughout the nozzle and hence the number of droplets per unit
volume reduces as the volume fraction increases, and vice versa.
In the second approach, the number of droplets is assumed con-
stant and the droplets are allowed to reduce in size as the volume
fraction is increased. The droplet number and droplet diameter are
related through:

6(1 —ay)
- mDd
On a physical level, assuming a constant droplet number may be
considered more realistic as it allows the mass of a single droplet
to vary according to the amount of mass and energy transferred to
the surrounding vapour, whilst assuming a constant droplet num-
ber implies that a single droplet may fully vapourise, or nucleate,
across an incremental pressure change. The constant droplet num-
ber has been successfully applied to the numerical simulation of
steam flashing flows [22,23], although the vapour is assumed to
be the dispersed phase and hence Eq. (20) refers to the bubble
number, rather than the droplet number.

The third approach models the break-up of the liquid droplets
according to the Weber and Ohnesorge numbers, and is commonly

Np (20)
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applied in atomisation [36]. The Weber number represents the ra-
tio of the drag forces which disrupt a droplet to surface tension
forces which resist that disruption, and is defined as:

_ pv(uy — u,)’D

We — (21)

where o is the surface tension. The Ohnesorge number represents
that ratio of viscous to surface tension forces acting on a droplet
and is defined as:

Ooh= M (22)
v pLDo

At sufficiently high Weber numbers, the drag forces become suf-
ficiently high to cause break-up of the droplets, and for Oh < 0.1
that break-up occurs at a constant value of We = 11. For Oh < 10,
which is not exceeded within this work, the Weber number at
which break-up occurs, referred to as the critical Weber number
We,r, is obtained from Guildenbecher et al. [36]:

Weer = Weg, ono(1 + 1.07700") (23)

where We; o0 = 11. Thus, for a known critical Weber number
the maximum droplet number is given from:

We.o

oy (uy —ug)?’
Thus, in this approach, the nozzle design model is initiated with an
initial droplet size at the nozzle inlet. Then, at each location within
the nozzle the maximum droplet diameter is calculated. If the
maximum droplet diameter is greater than the current droplet di-
ameter the droplet diameter remains unchanged, otherwise break-
up is assumed to occur and the droplet diameter is set to the max-
imum droplet diameter. In this approach, Np and D remain linked
through Eq. (20), but both vary along the length of the nozzle.
In practice, the results are relatively insensitive to the initial in-
put droplet size, with changes in this parameter only affecting the
calculation within the first few percent of the nozzle length.

An alternative approach would be to model the droplet break-
up through the introduction of an additional differential equa-
tion to model the droplet evolution, as previously applied to flash-
ing flows [37] and condensation in steam turbines [24] for exam-
ple. However, the approaches adopted here are simple to imple-
ment within the model, and are considered a suitable first approx-
imation.

(24)

Drnax =

3.4. Numerical implementation

For a specified set of thermodynamic and geometrical inputs,
and for a defined pressure profile, the nozzle design model is initi-
ated by determining the nozzle length and discretising this length
into n nodes, each with a specified pressure. Then, starting at the
nozzle inlet and marching forward along the length of the nozzle,
the six governing equations are solved numerically at each node
to determine the six flow variables, i.e., T, Ty, u;, uy, oy and A.
At each node, the first-order differential terms are obtained us-
ing the second-order accurate backward difference scheme and the
numerical solution is completed using the fsolve function avail-
able in MATLAB’s Optimisation Toolbox (v2020b). Fluid proper-
ties are modelled using the Span-Wagner Helmholtz equation of
state available within REFPROP (v10), including the calculation of
metastable properties; for the fluids evaluated in the following sec-
tions specific details can be found in Refs. [38] (R1233zd(E)) and
[39] (MM). However, the model is also developed to work with an
in-house Peng-Robinson model previously developed for ORC sim-
ulations [40]| and a comparison between the models is presented
later. Finally, the number if nodes is set to 250 for all simula-
tions following a sensitivity which found model predictions with
n = 250 were within 0.1% of those obtained for n = 500.
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Fig. 7. Validation of the current nozzle design tool (-) against the digitised data
taken from Elliott [12,13] (@). Results concern the wet-to-dry expansion of toluene
from po = 28.47 bar (Tp = 289 °C) and qo = 0.01 with m =1 kg/s.

3.5. Initial model validation against Elliott

Given the relatively unique nature of the system under inves-
tigation, there are limited studies against which to validate the
nozzle design tool. One exception is Elliott [12,13], who designed
a wet-to-dry nozzle for the expansion of toluene. His model as-
sumed thermal equilibrium between the two phases but accounted
for slip and set the droplet diameter based on that assumption of a
limiting Weber number (i.e.,, We = 12). Thus, for a fair comparison
the Weber number criterion was selected to model droplet break-
up, whilst Nu; and Nuy were set sufficiently high (i.e., ©(103)) to
force the liquid and vapour temperatures towards the saturation
temperature. A comparison between Elliott’s model and those ob-
tained using the current model is presented in Fig. 7. The pressure
profile was obtained via a numerical optimisation of the Bezier
control points to fit the pressure profile originally specified by EI-
liott.

Overall, the results reveal a good agreement between the two
models, with very similar qualitative trends observed. There is a
slight discrepancy in the vapour mass fraction at the inlet, which
can be attributed to the assumption for the inlet velocity which is
not stated in the original reference. Moreover, the current work re-
lies on a more advanced equation of state than the ideal-gas based
formulation that appears to have been used by Elliott. Nonetheless,
the results reported in Fig. 7 provide good confidence in the cur-
rent model.

4. Two-phase expansion of R1233zd(E)

Before progressing onto wet-to-dry expansions of fluids of in-
terest, an investigation into the two-phase expansion of the hy-
drofluoroolefin, R1233zd(E), has been conducted. This fluid is con-
sidered since it is a common working fluid within low-temperature
ORC systems, but also because it has a saturated vapour line that,
when viewed in the T — s plane, is close to vertical which means a
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two-phase expansion will remain within the saturation dome. This
is convenient since difficulties have been encountered in reaching
convergence when using non-equilibrium computational-fluid dy-
namic (CFD) simulations for two-phase expansion cases that tran-
sition across into the superheated region. Thus, the purpose of
this investigation is twofold: (i) to provide a case study that can
be evaluated via more advanced non-equilibrium CFD simulations,
which can in turn provide some further validation of the nozzle
design tool; and (ii) to present a case study in which the effect of
varying the droplet diameter can be demonstrated.

4.1. Case study definition

The selected two-phase expansion case corresponds to the ex-
pansion of R1233zd(E) from inlet conditions of py = 20 bar, qg =
0.5 and ug =10 m/s to an outlet pressure of poyt = 1 bar. To be
consistent with the eventual scale of the target application, which
is a small-scale ORC system with a power output in the order of
100 kW, the mass-flow rate is set to m = 0.149 kg/s. This is con-
sistent with an isentropic nozzle power of 100 kW, which is subse-
quently divided across 16 stator vanes. The geometrical parameters
for the nozzle are set to b/oy, = 3 and L/oy, = 30, whilst the non-
dimensional Bezier control points are fixed at x4 = xp = xc = 0.5,
which corresponds to a similar nozzle pressure distribution to that
reported by the black line in Fig. 6. As noted previously, the noz-
zle design proceeds assuming that Nuy is set according to the
Ranz-Marshall correlation, Nu; = 6 and the drag coefficient is de-
termined based on the Schiller-Naumann correlation.

Before proceeding with the CFD validation or the parametric
studies, a comparison between nozzle designs obtained using the
Span-Wagner Helmholtz equation of state and the Peng-Robinson
equation of state was conducted. For this comparison a number
of additional two-phase expansion cases were defined, with inlet
pressures ranging between 10 and 30 bar, and inlet vapour quali-
ties ranging between 0.1 and 0.8, and the nozzle design model was
run using each equation of state. More details on the expansion
cases, alongside the results, are presented in the supplementary
material. However, in summary it was found that under the non-
equilibrium assumption, where metastable states are expected, the
percentage difference in the nozzle area distributions remained be-
low 3%, with the largest deviation observed in cases with high in-
let pressures and low inlet vapour qualities. Overall, this provides
some confidence in the suitability of the Helmholtz-based equa-
tion of state for modelling metastable states, and thus the subse-
quent results were all generated using this model.

4.2. Computational-fluid dynamic simulations

The purpose of the CFD simulations is to provide further veri-
fication of the nozzle design tool for a two-phase expansion case
in which thermal and mechanical non-equilibrium are considered.
For the specified thermodynamic and design inputs, and value for
Np, the nozzle design model is run and the nozzle geometry ob-
tained on which the CFD analysis can be conducted. In keeping
with the nozzle design model, the CFD simulations are based on
an Eulerian-Eulerian two-phase model, and full details of the setup
are provided in the supplementary material. For the two-phase
expansion case corresponding to pg =20 bar, go = 0.5 the noz-
zle design was run for three different values for the droplet num-
ber, namely Np = 108, 1010 and 10'2. The CFD simulation was then
completed for each nozzle, with the droplet number set accord-
ingly. A comparison of the results is provided in Fig. 8.

From the comparison it is observed that the pressure profile ob-
tained from the CFD model agrees very well with the target pres-
sure profile. Moreover, both sets of results predict similar trends in
the volume fraction with axial position and with variations in Np.
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Fig. 8. Comparison between the predictions from the nozzle design model (1D) and the CFD simulations for the two-phase expansion of R1233zd(E) for Np = 108, 10'° and

10%2.

However, overall the CFD model predicts lower volume fractions
than the nozzle design model, which is consistent with the CFD
model predicting a larger slip between the two phases. With re-
spect to the evolution of the liquid and vapour temperature, a good
agreement is observed, particularly with respect to the liquid tem-
perature at increasing Np, although the CFD simulations indicate
that the vapour side is relatively insensitive to the droplet num-
ber. This could be attributed to the larger slip between the two
phases, which can be expected to increase the droplet Reynolds
number promoting enhanced heat transfer. As already noted, the
CFD models predict a larger slip between the two phases, and
ultimately, of the properties considered, the predicted liquid and
vapour velocities show the largest deviations between the nozzle
design and CFD models. These deviations were to be expected ow-
ing to the nozzle design model neglecting boundary layer effects,
neglecting variations in the flow properties in the vertical direc-
tion, and neglecting any recirculation within the diverging part of
the nozzle. Ultimately, these effects can be expected to affect the
volume fraction distribution, and hence droplet diameter distribu-
tion, leading to variations in heat-transfer rates and drag forces,
which may significantly influence the interfacial terms. However,
it is worth noting that the same qualitative trends are observed,
namely that vapour velocities reduce and liquid velocities increase
as droplet number is increased. Therefore, despite the obvious lim-
itations of the nozzle design model in accounting for the complex
nature of the flow, based on the results reported here it is consid-
ered a useful tool for nozzle design and for providing a qualitative
assessment of non-equilibrium effects in two-phase expansion pro-
cesses relevant to power generation without resorting to complex
non-equilibrium CFD simulations.

4.3. Parametric study: Effect of droplet diameter

The second part of this section aims to investigate the effect
of the droplet diameter on the evolution of the flow parameters

within a two-phase nozzle. For this study, the nozzle design model
was run for the assumption of homogeneous thermal equilibrium
(HEM), using the critical Weber number model, and for droplet
numbers ranging between Np = 107 and Np = 10'°. The results are
compared in Fig. 9, which report the evolution of pressure, area,
volume and mass fraction, and temperature and velocity of the lig-
uid and vapour phases along the non-dimensional length of the
nozzle. The simulation was also repeated with the assumption of
a fixed droplet diameter, rather than a fixed droplet number. The
results for a fixed diameter are qualitatively similar to those re-
ported for a fixed droplet number and for brevity are provided in
the supplementary material.

The first thing to note from Fig. 9 is that at high droplet num-
bers (i.e., Np = 10'3) the non-equilibrium model closely recovers
the HEM solution. In other words, for high droplet numbers, where
droplet diameters are also small, the rate of interfacial heat and
mass-transfer exchange is high whilst the drag force is low, which
drives the phases towards equilibrium. At low values of droplet
number (i.e., Np = 107), where D is increased and there is a larger
resistance to heat transfer and a larger drag force, there is ef-
fectively no mass exchange between the phases and the vapour
mass fraction remains unchanged along the length of the nozzle.
At intermediate values of Np, the volume fraction, liquid veloc-
ity and liquid temperature distributions transition between these
two extremes. However, the evolution of the vapour temperature
and vapour velocity are less clear. At low values of Np, there is
a high resistance on both sides of the liquid-vapour interface, so
both mass and heat transfer are limited. Subsequently, the two
phases essentially undergo separate expansions, albeit with some
heat exchange which seeks to cool down the liquid and heat up the
vapour. Thus, the vapour and liquid expand into the superheated
vapour and metastable liquid regions respectively. As the droplet
number is increased up to Np = 10", and hence the droplet di-
ameter continues to reduce, the thermal resistance on both sides
of the liquid-vapour interface decreases, leading to increased mass
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Fig. 9. Evolution of pressure p, nozzle area A, vapour volume fraction «, vapour mass fraction g, the liquid and vapour temperatures T; and Ty, and the liquid and vapour
velocities u; and uy along the length of the nozzle for the expansion of R1233zd(E) from py =20 bar and qg = 0.5 to pouc = 1 bar. The dashed line corresponds to a
homogeneous equilibrium assumption, the dash-dot line corresponds to the critical Weber number model, and the coloured lines correspond to different values for Np.

and heat transfer between the two phases. However, the resis-
tance remains sufficiently high that the temperatures of the two
phases remain away from the saturation temperature, again lead-
ing to metastable liquid and superheated vapour conditions, and
a subsequent temperature difference between the two phases. As
Np is further increased, the vapour temperature appears to drop
below the saturation temperature, thus becoming metastable sub-
cooled vapour, before the homogeneous equilibrium solution is al-
most recovered for Np = 10'. Thus, it can be observed that the
temperature profile of the vapour is relatively complex, and is a
function of the heat-transfer coefficients on the liquid and vapour
sides which are proportional to Np, and the temperature difference
between the phases which are inversely proportional to Np. These,
in turn, are path dependent and are a function of the assumed
droplet number, the volume fraction and the mechanical interac-
tion between the phases. For the high droplet number cases, it also
worth noting the interesting behaviour with respect to the vapour
quality and area distribution that is observed. Specifically, for the
Np = 10"3 case, higher vapour qualities, and consequently larger
nozzle areas, are predicted compared to the HEM model (i.e., in
the region x/L > 0.8). However, as Ny is further increased to 10"

these two parameters reduce back towards the HEM solution. At
present, with the absence of studies with which to compare or val-
idate these results, it is unknown whether this behaviour is phys-
ical, or whether this indicates a limitation of the model for these
high droplet number cases. Thus, further investigation is required
to establish the suitability of this approach.

Referring briefly to the results for the parametric study con-
ducted for the fixed droplet diameter assumption, as reported in
the supplementary material, the results are consistent with those
obtained for the fixed droplet number assumptions. Specifically,
the same trends with respect to volume fraction, liquid temper-
ature and liquid velocity are observed, which transition from the
most extreme non-equilibrium conditions for D=1 mm, to the
HEM conditions when the diameter is reduced to D =5 pum. The
trends with respect to vapour temperature, vapour velocity, vapour
quality and nozzle area are also similar with the prediction of
metastable vapour properties for intermediate droplet diameters.

Referring back to Fig. 9, and considering the results obtained
under the critical Weber number assumption, as indicated by the
dash-dot lines, it is found that this assumption does not encounter
the situation encountered by the fixed droplet number model for

10
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high values of Np. Specifically, the critical Weber number mode
leads to nozzle designs that are close to the HEM model, although
there is an apparent shift in the temperature and velocity of the
liquid phase compared to the HEM model. This subsequently re-
duces the volume and vapour mass fraction at the outlet of the
nozzle. Comparatively, the vapour temperature remains close to
the saturation temperature, albeit with a small degree of super-
heat. In other words, under the critical Weber number assumption
it can be observed that whilst the predicted nozzle area is similar
to that of the HEM model, and hence could have been generated
under such an assumption, the presence of non-equilibrium effects
can be expected to delay vapour generation, and this effect could
not be predicted using the HEM model.

Ultimately, these results indicate the importance of accounting
for non-equilibrium effects, and of having a realistic approximation
that accounts for the break-up of the liquid droplets and allows the
droplet diameter and droplet diameter to vary along the length of
the nozzle. Nonetheless, in the absence of suitable experimental
data it is not suitable to rely on a HEM assumption and paramet-
ric studies investigating different values of Np can be considered
a useful exercise to elaborate on the role that the droplet number,
or droplet diameter, may have on the outlet conditions and the po-
tential role of non-equilibrium effects. Moreover, in the context of
wet-to-dry expansion it is clear that the performance of the nozzle
can be expected to be sensitive to the inlet conditions, and specif-
ically the droplet size and distribution at the nozzle inlet. Thus, to
achieve full vapourisation it can be expected that controlling these
parameters will be important.

5. Two-phase expansion of the siloxane MM

Having evaluated the two-phase expansion of R1233zd(E), the
investigation is now extended to MM, which as confirmed in
Section 2, is a suitable fluid for the wet-to-dry cycle. Following
from the R1233zd(E) analysis, the first step is to assess the in-
fluence of the equation of state. This was done by comparing
the results generated using the same two thermodynamic mod-
els as previously considered, namely the cubic Peng-Robinson and
Span-Wagner Helmholtz equations of state. For both models, re-
sults were generated under the assumption of homogeneous ther-
mal equilibrium and under the assumption of both mechanical and
thermal non-equilibrium. The results were generated for different
two-phase expansion processes and the results are summarised in
the supplementary material. Ultimately, the results under the ho-
mogeneous equilibrium assumption are in-line with those obtained
for R1233zd(E), with maximum deviations of 8% at the nozzle in-
let, which quickly reduce to below 4% for x/L > 0.05. However, this
is only for two-phase expansion from high inlet pressures. At in-
termediate and low pressures, the difference is below 1% for the
whole nozzle. The results for the non-equilibrium case reveal very
similar trends. Thus, these results indicate that the choice of ther-
modynamic model does not seem have a significant impact on the
resulting nozzle geometry.

Having confirmed the sensitivity to the equation of state, the
investigation can be extended to consider more practical wet-to-
dry expansion processes. For this, 12 expansion processes have
been defined, as reported in Fig. 10. These 12 cases correspond
to two-phase expansion from the three inlet pressures reported in
Fig. 5, namely pg =4.78, 10.12 and 15.45 bar, and at four differ-
ent inlet vapour qualities, namely qo = 0.1, 0.2, 0.3, and 0.4. The
turbine outlet pressure is set based on the assumption of an ORC
condensation temperature of 40 °C, and with the exception of the
Po = 4.78 bar cases, the nozzle outlet (i.e., stator outlet) pressure
is set assuming a degree of reaction of 0.5, calculated under the
assumption of an isentropic expansion and homogeneous thermal
equilibrium flow. For the py = 4.78 bar cases, the degree of reac-
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Fig. 10. Wet-to-dry expansion cases for MM. The three sets of lines correspond to
inlet pressures of po = 4.78, 10.12 and 15.45 bar respectively, at inlet vapour quali-
ties of go = 0.1, 0.2, 0.3, and 0.4. The intermediate point on each vertical line cor-
responds to the nozzle outlet condition.

tion was set to 0.1, 0.25, 0.4 and 0.5 for vapour qualities of 0.1, 0.2,
0.3 and 0.4 respectively. This was necessary since for these cases a
higher degree of reaction would correspond to an expansion pro-
cess that does not leave the saturation dome, at least under the
assumption of isentropic, homogeneous thermal equilibrium flow.

For each case reported in Fig. 10, the nozzle design model was
run to determine the required nozzle area distribution to achieve
the desired wet-to-dry expansion. Since the primary aim of this
paper is develop the nozzle design tool and investigate the feasibil-
ity of achieving a full wet-to-dry expansion when non-equilibrium
effects are considered, rather than undergoing the optimisation of
the nozzle geometry, the nozzle design tool is ran with the same
set of design inputs as previously specified for the R1233zd(E).
Specifically, the mass-flow rate is set based on an isentropic power
of 100 kW, and assuming a stator with 16 stator vanes. The geo-
metrical parameters for the nozzle are set to b/oy, = 3 and L/oy, =
30, whilst the non-dimensional Bezier control points are fixed at
X4 = Xg = Xc = 0.5. The optimisation of these parameters is left for
a later study, where suitable objective functions may be to min-
imise the slip velocity, the temperature between the phases, the
liquid mass fraction at the nozzle outlet in the case of a completely
two-phase expansion, or maximising the degree of superheat for a
wet-to-dry expansion.

For the interfacial terms, it is assumed that Nuy is set according
to the Ranz-Marshall correlation and the drag coefficient is deter-
mined based on the Schiller-Naumann correlation. For the liquid
side heat-transfer coefficient, it was initially assumed that Nu; = 6,
however as discussed in the next paragraphs this was later mod-
ified to Nu; = 12. As for the assumption for the droplet diameter,
various values for the droplet number or droplet diameter were
attempted, but it was found that the nozzle design model was
unable to reliably provide results, particularly at high values for
the vapour volume fraction. However, more stable behaviour was
obtained when using the third modelling approach which mod-
els droplet break-up according to the Weber number. Thus, all re-
sults presented for the MM expansion case are obtained using this
droplet break-up model. Finally, it is noted that since the predom-
inant focus of this study is confirming the location of the wet-to-
dry transition point, the nozzle design model is terminated when
full vapourisation is achieved (i.e., g > 99.9 %). The results gener-
ated for the 12 expansion cases under this set of assumptions are
summarised in Fig. 11.

Before discussing the results in detail, it is worth noting that
for the two pg = 15.4 bar cases with gy = 0.1 and 0.2 the model
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Fig. 11. Variation in nozzle half height with non-dimensional x—coordinate for the 12 expansion cases reported in Fig. 10. The black lines correspond to the nozzle geometry
predicted under the assumption of homogeneous thermal equilibrium, whilst the red and blue lines correspond to the non-equilibrium results obtained for different values
of the liquid-side Nusselt number, Nu;. The markers (®) represents the location at which full vapourisation occurs, or the vapour quality at which the model terminates

(indicated in the top left of each plot).

terminated with a vapour quality that is less than unity when
Nu; = 6 is assumed. Specifically, the model terminated at values
of q=0.24 and q = 0.46 respectively. The reason for this is ex-
plored in Fig. 12, which reports the difference between the fluid
pressure and the corresponding spinodal pressure (i.e., calculated
at the same temperature) along the length of the nozzle for dif-
ferent expansion cases. For expansions from low pressures (i.e.,
po = 4.8 and 10.1 bar), there is a large pressure difference indicat-
ing that the metastable liquid state is far from the spinodal point.
However, as the inlet pressure is increased, and the inlet vapour

12

quality is reduced, the metastable liquid state moves closer to the
spinodal limit. For the pg = 15.4 bar, go = 0.4 and Nu; =6 case
it is observed that the minimum pressure difference is obtained
at x/L = 0.5, which, as indicated by the black pressure profile re-
ported in Fig. 6, corresponds to the region with the highest pres-
sure gradient and thus the region of most rapid expansion. Thus, in
this region, due to the thermal resistance on the liquid side of the
liquid-vapour interface that causes a delay in the heat and mass
transfer, this leads to the most significant metastable states in this
region. As the vapour quality is reduced further, the spinodal limit
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Fig. 12. Variation in the difference between the fluid pressure p and corresponding
spinodal pressure of the liquid phase at the same temperature, pspn, along the non-
dimensional length of the nozzle for selected expansion cases.

is approached and the model fails. Thus, for these cases, the ther-
mal resistance on the liquid side of the liquid-vapour interphase
was relaxed by doubling the Nusselt number, which is equivalent
to doubling the liquid-side heat-transfer coefficient. This moves the
expansion process further from the spinodal and allows a solution
to be obtained, as indicated in Fig. 12. Alternatively, the nozzle
geometry or target pressure profile could have been modified to
change the location of the maximum pressure gradient, or to re-
duce the gradient (i.e., by increasing the nozzle length). However,
given that there remains significant uncertainty in both the suit-
ability of the equation of state in predicting metastable states close
to the spinodal limit, and in predicting a suitable value for Nu,, the
approach adopted here is considered a suitable for step.

Having discussed this, it is now suitable to analyse the results
reported in Fig. 11. The first thing to note is that in all cases the
consideration of non-equilibrium effects delays the vapourisation
process, leading to the full vapourisation being achieved either fur-
ther downstream than predicted by homogeneous equilibrium as-
sumption, or not at all. In other words, these findings indicate
that non-equilibrium effects should be considered when designing
nozzles for the wet-to-dry cycle, necessitating the use of a nozzle
model similar to that developed in this work.

The second observation is that for the pg = 4.8 cases it is not
possible to achieve full vapourisation of the working fluid for any
of the considered cases. Thus, referring to Fig. 10, where it can be
seen that these two-phase expansion processes end close to the
saturation dome (as also indicated in Fig. 11 by the proximity of
the homogeneous equilibrium model wet-to-dry transition point
to the end of the nozzle), this may indicate two things. The first
is that a lower outlet pressure, and therefore smaller degree of re-
action, may be necessary to achieve full vapourisation of the fluid.
The second is that it can also be concluded that the most optimum
cycle from a thermodynamic perspective, as indicated in Section 2,
may be the hardest to achieve in practice when non-equilibrium
effects are considered.
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Considering the intermediate pressure cases (i.e., pg = 10.1 bar),
full vapourisation of the working fluid is predicted for all cases,
and this is found to occur within the last 20% of the nozzle length.
Comparatively, the homogeneous equilibrium model predicts this
to be achieved between 55 and 70% of the nozzle length. Similar
results are also obtained for the high pressure case, namely pg =
15.4 bar. Thus, this indicates that at these pressures the wet-to-dry
cycle could be feasibly deployed.

Comparing the Nu; =6 and Nu; = 12 cases, it is observed that
the results, or at least the location of the wet-to-dry transition,
is influenced by the thermal resistance on the liquid side of the
liquid-vapour interphase, and this sensitivity increases as the inlet
vapour quality is reduced. This is not surprising as a low vapour
quality is consistent with a lower vapour volume fraction and an
increased interfacial area. Interestingly, however, the results also
indicate that a higher heat-transfer coefficient on the liquid side
appears to cause the wet-to-dry transition point to shift further
downstream, which is perhaps counter intuitive. Upon further in-
spection of the results, although not presented here, it was that
found a higher value for Nu;, and hence higher heat-transfer coef-
ficient, does lead to a a faster rate of vapour generation within the
majority of the nozzle compared to the lower heat-transfer coeffi-
cient. However, in the later stages of the nozzle, the vapour genera-
tion rate for the higher heat-transfer coefficient reduces compared
to the low case. This can be partly understood by noting that the
mass and energy exchange between the phases is governed by the
temperature differences between the liquid, vapour and saturation
temperature, as well as the heat-transfer coefficients. Thus, a lower
heat-transfer coefficient, which results in a larger temperature dif-
ference between the phases, particularly towards the latter stages
of expansion, promotes more rapid mass and energy exchange. It
is also worth noting that although the liquid-side heat transfer co-
efficient is generally higher than the vapour-side heat-transfer co-
efficient, they are both the same order of magnitude and hence
neither is the controlling heat-transfer coefficient. Thus, although
the liquid-side heat-transfer coefficient increases, the vapour expe-
riences a similar resistance between the vapour and interphase in
both cases.

Ultimately, the results in Fig. 11 indicate the importance of ac-
counting for non-equilibrium effects when considering a wet-to-
dry cycle operating with the fluid MM and also indicate that for 8
of the 12 cases evaluated it may be possible to successfully achieve
full vapourisation of the working fluid within the nozzle. However,
the results have also indicated that at the most promising oper-
ating point from a thermodynamic cycle perspective, it may not
be feasible to achieve such an expansion. Thus, at the heart of the
problem is a trade-off between the thermodynamic performance
of the cycle and the potential to realise the required wet-to-dry
expansion process in a practical nozzle.

6. Conclusions

Previous studies have indicated that the wet-to-dry cycle, in
which the working fluid transitions across the saturation dome
during expansion, could offer significant thermodynamic benefits
compared to existing systems based on the organic Rankine cy-
cle. Ultimately, this cycle could increase power output by up to
a third, thus helping to increase the uptake of waste-heat recov-
ery technologies and help reduce the amount of waste heat that is
currently rejected to the environment. However, the feasibility of
achieving a wet-to-dry expansion process has yet to be confirmed.
Thus, this paper has explored the wet-to-dry expansion of organic
fluids with the aim of establishing the role that non-equilibrium
effects have in the expansion process, and confirming whether a
wet-to-dry expansion can be achieved when these effects are con-
sidered.
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The results obtained for the two-phase expansion of the refrig-
erant R1233zd(E) indicate the importance of accounting for non-
equilibrium effects when assessing two-phase expansion, and re-
veal the importance of having a realistic model that accounts for
the break-up of the liquid droplets. The results obtained for the
wet-to-dry expansion of the siloxane MM confirm this finding, and
reveal a sensitivity to the liquid side heat-transfer coefficient. In
other words, it is not suitable to rely on the assumption of ho-
mogeneous equilibrium when designing nozzles for two-phase ex-
pansion, thus confirming the need for a suitable design tool that
can model non-equilibrium effects. Moreover, the results reveal the
importance of having accurate models to predict interfacial heat-
transfer coefficients and drag forces. Thus, given the current ab-
sence of suitable experimental data, more numerical investigations
and experimental testing is necessary to provide more confidence
in the developed models. In the absence of such data, paramet-
ric studies can be used to assess the influence of the interfacial
models.

Ultimately, the results for the wet-to-dry expansion of MM
under relevant operating conditions indicate that for eight of the
twelve cases considered it is possible to achieve full vapouri-
sation of the fluid within the nozzle when non-equilibrium
effects are considered. This confirms the feasibility of design-
ing nozzles that can fulfil the requirements of the wet-to-dry
cycle. However, the four cases in which wet-to-dry expansion
is not possible correlate to the most preferential cycle con-
ditions. Therefore, there is a trade-off between achieving the
optimal thermodynamic performance of the cycle, and having
a wet-to-dry expansion that can be achieved within a practical
nozzle. Thus, an optimal cycle can only be identified after hav-
ing evaluated the thermodynamic performance of the cycle and
modelling the wet-to-dry expansion process accounting for non-
equilibrium effects. Finally, it is commented that in the context
of wet-to-dry expansion it is apparent that the performance of
the nozzle will be sensitive to the nozzle inlet conditions (i.e.,
size and distribution of droplets), and controlling these param-
eters may be important in achieving the desired vapourisation.
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